ABSTRACT: This article describes the development, validation and application of a FEM based numerical model for prediction of residual strength of damaged sandwich panels. The core of the theoretical method is a newly developed procedure for prediction of the propagation of a face-core debond. As demonstrated, the method can predict the maximum load carrying capacity of real-life panels with debond damages, where the failure is governed by face-sheet buckling followed by debond growth. The developed theoretical procedure is an extension of the as Crack Surface Displacement method, here denoted as the Crack Surface Displacement Extrapolation method. The method is first developed in 2D and then extended to 3D by use of a number of realistic assumptions for the considered configurations. Comparison of the theoretical predictions to a series of large-scale experiments, described in [17] , shows that the model is indeed able to predict the failure modes and the residual strength of damaged panels with accuracy sufficient for practical applications. This opens up for a number of important engineering applications, for example risk-based inspection and repair schemes.
INTRODUCTION I
N THE LAST 30 years fiber composite materials have seen a growing popularity in a wide spectrum of different industries. Areas of application have first of all been aircraft and spacecraft, but with a decreasing fiber material price of the most commonly used fiber types, composite materials have eventually been applied on a larger scale in ships, cars, trains, wind turbine blades, off-shore installations, etc. Common to most of these weight critical applications is the need for reducing the weight of the structure to increase the strength-to-weight and stiffness-to-weight ratios and thus obtain better performance and/or an increased loading capacity. With regard to these strength-and stiffness-to-weight ratios, composite and especially sandwich materials possess a superior performance. Other advantageous properties are thermal and acoustic insulation, fatigue, corrosion, and easy manufacturing of aero-and hydrodynamically superior shapes.
With the increasing ability to optimize the structures to the performance limit of the building materials and with the willingness to do so in practice, the reserve margin for structural degradation and damage tolerance becomes significantly smaller. In Figure 1 the reliability index, Ç, versus the ageing of the structure is shown for a typical structural lifetime of a structure optimized to the material performance limit. For this particular example it may be observed that the reliability index is reduced as the ageing of the structure increases. However, the structural integrity is regained because of repair every time the reliability index reaches the accepted minimum value.
In Figure 1 the effect of the same sudden damage to the structure is indicated for two different times during the structural lifetime. The damage to the structure means that the structural integrity is suddenly reduced and the reliability index is therefore dropping. As indicated in Figure 1 , the Figure 1 . The structural reliability index vs the ageing of the structure. Additionally, the effect of a sudden damage event is indicated.
damage is seen to be non-critical to the first damage case but critical to the second damage case, as the reliability instantly drops below the accepted value.
The above-mentioned example emphasizes the importance of being able to evaluate the criticality of a given damage in connection with the redundancy of the structure. Furthermore, it is evident that in order to achieve highly optimized structures, which are able to operate in a stochastic loading environment, damage tolerance evaluation is needed. Furthermore, the damage tolerance approach does not only apply to the design and optimization of composite structures, but is also highly relevant to composite structures already in service and exposed to minor or major damages. Is a given damage critical to the structural integrity, or is the damage negligible? These questions are especially relevant to sandwich structures, which by nature are highly optimized structures with a high number of possible damage scenarios and consequent failure mechanisms.
In the aeronautical, train and automotive industries, the goal is to produce structures entirely built of composites, as they possess the potential of significantly reducing the weight of the structure and thus increasing the performance of the structure. This goal is still somewhat in the future, as high demands on the damage tolerance of the structure result in high safety factors, which put high penalties on the structure and thus reduce the performance. In the maritime industry the goal of structures completely built in composite and sandwich has already been reached, but experience from the navies, using sandwich vessels with FRP faces and PVC foam cores, has shown that a number of common and critical damages cause both a decrease in performance of the structure and are also a source of repeated repair actions.
Damages directly related to impact events with sharp or blunt objects are often seen on sandwich structures, and they are examples of typical in-service damages. The extent of damage to the structure is directly related to the energy transmitted to the structure at the moment of impact, and the impact event can introduce various damage types to the face, for example face shear fracture resulting in delaminations, where the individual plies in the face laminate are separated, through-the-thickness compression failure of the face laminate and in-plane compression or tension failure of the face laminate near the impact location. The impact damage events and the resulting residual carrying capacity of the sandwich panels have among others been investigated in great detail both analytically and experimentally by [1] .
Damages to the core related to the impact event could be core shear fracture near the impact zone and/or crushing of the core under the impact zone, which is investigated thoroughly by [2] . The core crushing results in a permanent dent and for some core types accompanied with a cavity, leaving the face and core separated in a zone extending in a radial direction from the impact location. The phenomenon of separation of face and core in an isolated area is from now on designated a debond.
Another damage scenario which results in a debond damage is production defects. If the glue forming the interface between face and core is missing in parts of the panel, because of poor production quality a debond is initially present in the panel. The production debonds are typically more difficult to identify, as they do not necessarily leave any visible damage to the face sheet or permanent dent in the surface. However, they are suspected to be responsible for severe and numerous large-scale debonds in mine sweeper vessels.
In many cases the emergence of debonds is accompanied with outgassing from the core, which is furthermore accelerated when the panel is exposed to direct sunshine. This kind of damage is also often designated sun blisters, Figure 2 . It is believed that when the combination of polyester resin and non-heat stabilized PVC cores is used, a chemical reaction takes place which produces de-gassing from the core. The effect of degassing is in all cases a gas pressure inside the debond accompanied with a debond opening, which will act as a geometrical imperfection. Debond propagation can furthermore be driven by both the pressure inside the sun blister and the in-service loads.
Several investigations of the debond damage type have been carried out in the past, beginning with [3] , who investigated the strength of foam core sandwich beams with various debonds and interface propagated core shear cracks using the finite element method and experimental testing. Somers et al. [4] followed with an extensive analysis of the debonded beam problem using a continuous fracture mechanical analytical model, where the sandwich beam is divided into four individual parts. Other investigations followed, which all enlightened the criticality of interfacial damages. Among those are [5] , who investigated debonded honeycomb sandwich beams by a foundation model and linear fracture mechanics, [6] and [7] , who carried out analytical higher-order analysis of the local debonded face layer buckling mechanism. The latter article compares the analytical results with an extensive test series carried out in [8] on honeycomb core sandwich beams with debonded carbon reinforced face sheets. Lately, analytical elastic foundation models able to predict buckling of debonded beams and panels are presented in [9] , together with an extensive experimental investigation of uniform in-plane compression loaded sandwich panels with various debond damages.
In recent years, several fracture mechanically based analytical and experimental studies of the debond problem in sandwich beams have been carried out, specially aimed at the determination of interfacial fracture toughness and introducing a number of specially designed test specimens. Among these publications are [10, 11] , in which foam core sandwiches with isotropic facings are investigated, [12] and [13] present and investigate the tilted sandwich specimen.
In addition to the sandwich application publications, a wide spectrum of general bimaterial fracture mechanical publications is available. Most of them have their roots in the area of debonding of thin films on elastic substrates, which has many similarities to the debonding of large-scale sandwich structures, even though the length scale is somewhat different. The most important publications are probably [14, 15] . The first gives an extensive overview of the bimaterial fracture mechanics, and the latter gives a comprehensive and in-depth analytical description of the displacement field and fracture mechanics for anisotropic bimaterials.
An isolated example of a both numerical and experimental investigation of circular debonds in a laterally loaded sandwich panel is given by [16] . Linear finite element solutions are used and nodal crack flank data from node pairs close to the crack tip is used to achieve a prediction of the Griffith-energy and mode-mixity distribution along the crack front and a comparison with mode II fracture toughness data is carried out. Additionally, the numerical results are compared with experimental data from seven tested full-scale panels, and good agreement is found between numerical and experimental results. However, as Falk himself points out in his article, more thorough numerical and experimental investigations are needed to establish a firm foundation for the prediction of residual strength of debonded sandwich panels.
The objective of this article is primarily to establish a general methodology for the prediction of residual strength of debonded fiberreinforced sandwich structures with foam cores. Furthermore, on the basis of a new fracture mechanical mode-mixity method (the Crack Surface Displacement Extrapolation method, presented in this article) and validation against the experimental results presented in [17] , the model presented in this article will be used to enlighten the criticality of debonds and predict considerable strength reductions in non-uniform compression loaded sandwich panels exposed to various damages, which have resulted in different sizes of debonds between face and core.
DEFINITIONS AND ASSUMPTIONS
In the remaining part of this article the debond damage event will be investigated. As mentioned before the debond may be a product of a number of the damages described earlier. Therefore, the main scope of this article is not to investigate the actual debond producing damage event itself, but rather the consequences of the subsequent debond with regard to the structural integrity.
A number of assumptions have been adopted in order to treat the debond damage in a general way by use of Linear Elastic Fracture Mechanics (LEFM):
. The debonded face is assumed to be intact and homogeneous, with the same apparent orthotropic material properties as the remaining intact face layer. . The underlying core is also assumed to be intact in all cases, and it is treated as an isotropic solid, thus neglecting the cellular microstructure of foam materials. . The current natural debond geometry is idealized by a circular debond, with the diameter D, as indicated in Figure 3 . . The interfaces between the faces and the core will be treated as plane interfaces between two solids, and the debond will be represented by an area where there is no continuous adhesion between the two solids. . The size of the microstructure is assumed to be much smaller compared to any other dimensions. . The failure process zone is assumed to be much smaller compared to the K-dominated zone. In Figure 4 different through-the-thickness crack locations for models with varying detail levels are presented. With regard to assumption four mentioned above, it is often observed for low density cores with low fracture toughness that the crack propagation is taking place just below the interface as in Figure 4 (b) and (d). Li and Carlsson [12] made an extensive analysis of the different crack locations and detail levels in Figure 4 using the Tilted Sandwich Debond (TSD) specimen. They report negligible influence of the glue layer, but do observe a phase shift in mode-mixity between the pure interface and the sub-interface models, levels a þ c and b þ d respectively in Figure 4 .
It should be noted that the negligible difference especially between the level a and c models is only valid, if no non-linear effects are present. It has been observed that for high density cores the crack tends to propagate directly in the interface or kink back and forth between the face/glue and glue/core interface, with considerable fiber bridging as the result. In these cases linear fracture mechanics will first of all be very doubtful and secondly the fracture toughness will vary considerably between an interface crack propagating between the face and core or glue layer and between the glue layer and the core.
However, despite the reported phase shift and the fact that the crack is actually propagating just below the interface for lighter density cores, and to minimize the number of unknowns in the analysis, for example the propagation depth in the subinterface models, the crack is assumed to propagate directly in the interface as in Figure 4 (a). Furthermore, the fracture toughness values, which are governing for the initiation of the crack front propagation and which will be presented later in this article, are all determined using the same type of interface model, thus excluding phase shift errors introduced by using two models with different detail levels.
FRACTURE MECHANICS IN SANDWICH STRUCTURES General
Before a more thorough derivation of the theory behind interface fracture mechanics and the Crack Surface Displacement Extrapolation method is carried out, one important observation will be made.
When a crack is advancing in a homogeneous material, it mostly happens in mode I. Even though mixed mode crack propagation can happen in homogeneous materials, the crack will immediately try to kink into a path where pure mode I exists. When an interface crack is advancing between two dissimilar materials, it will mostly happen in a mixed mode condition. The detailed explanation for this behavior will be given later in this section, but the main consequence is that not only is the present Griffith-energy 2 2 Also designated the energy release rate in some parts of the literature. level needed for an interface crack in a structural simulation, but also the mode-mixity, in order to compare the present crack tip loading with fracture toughness distributions as function of mode-mixity. Normally, the mode-mixity is not linked directly to the opening and shearing displacements of the crack flanks or the normal and shear stresses in front of the crack tip, as seen in homogeneous fracture mechanics, but a distortion exists, so special mode-mixity methods have to be employed in order to extract the mode-mixity.
Several mode-mixity methods have been described in the literature. The three most commonly used methods are:
. The Virtual Crack Extension (VCE) method, first described by [18] for isotropic bimaterials and later by [19] for orthotropic bimaterials. . The Virtual Crack Closure Technique (VCCT), first presented in the classical form by [20] and further developed in a modified form for orthotropic bimaterials by [21] . . The Crack Surface Displacement (CSD) method, described in many places. Among those are: [18] , [19] and [22] .
A detailed description and analysis of the above-mentioned methods can be found in [23] . Advantages and disadvantages were found for all the three methods, with special regard to application in foam core sandwich interfaces by using a finite element code with an automatic crack propagation routine. However, none of the investigated modemixity methods from the literature were found to possess qualities adequate for the application in automated propagation routines in sandwich interfaces. Consequently, on the basis of the experiences gained in the investigation of the mode-mixity methods from the literature, a new mode-mixity method, based on extrapolation of crack flank displacement results, is derived and named the Crack Surface Displacement Extrapolation (CSDE) method. The details of this new method are presented below. Verification and validation of the method can be found in [23] .
The displacement and the stress field close to the crack tip can be described by the Lekhnitskii-Eshelby-Stroh (LES) formulation in 2D, [15] (similar representations exist for the stress components):
Non-uniform Compressive Strength of Debonded Sandwich Panels where A 1 ik and A 2 ik depend on material parameters for materials 1 and 2 respectively (the upper index on the A-parameter corresponds to the material) and can be found in Equation (23) (Appendix), < refer to the real part and f 1k and f 2k are two material-dependent holomorphic functions, which can be found by solving the partial differential equation given according to [19] :
where is defined in Equation (20) (Appendix) and F x, y ð Þ is a stress function and can be represented as
where the two holomorphic functions, f 1 and f 2 , correspond to f 11 and f 12 or f 21 and f 22 in Equation (1) and are then given as
where Z 1 and Z 2 are two complex variables:
where x and y describe the position in a coordinate system located at the crack tip, see Figure 5 . 1 and 2 are two distinct complex numbers with positive imaginary part, and can be found as roots to the characteristic equation resulting from Equation (2). Depending on the sign and magnitude of the material constant, , the complex roots, , are given as:
where n, m, , and are non-dimensional orthotropic bimaterial constants given in Equation (20) in terms of the compliances of either material 1 or 2. Suo [15] gives the following general expressions for the two potentials
where 0 indicates differentiation with respect to Z i 3 and the eigenvector w and the material matrix L j (index j indicate the material number) are given as
and K is the complex stress intensity factor given as
and " are bimaterial constants, again depending on the material compliances and given in Equations (24)-(26) (Appendix).
If Equation (7) are integrated with respect to Z 1 and Z 2 respectively, explicit expressions are achieved for the holomorphic functions and hence also for the displacement field given in Equation (1):
The index i has been left out in Equation (7).
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where
f 21 Z 1 ð Þ and f 22 Z 2 ð Þ for material 2 can be obtained by replacing with À everywhere.
Real-numbered expression for the displacement field in Equation (1) together with explicit expressions for the holomorphic functions like in Equation (9), can be found in the literature, however, unfortunately they are all erroneous. Correct real numbered displacement fields can be found in [23] .
The displacement field in Equation (1) can be specialized to describe only the opening y and shearing x relative displacements of the crack flanks, see Figure 5 , and likewise the stresses as normal yy and the shear xy stresses in front of the crack tip with y ¼ 0:
These expressions are similar to those defined for homogeneous materials, but it should be noted in this case that the stress intensity factors K 1 and K 2 no more act as individual stress amplitudes for respectively mode I and II. This is due to the mix-up of the traditional stress intensity definition in bimaterial fracture mechanics. It is also seen that the term x i" is responsible for this mix-up. This mix-up is also the reason for the different choice of mode designation with Arabic numerals, in order to distinguish between homogeneous and inhomogeneous stress intensity factors.
The direct consequence of this mode mix-up is that for example an opening displacement of the crack flanks does not necessarily mean that K 2 ¼ 0, but that it is rather a mixed-mode condition where both K 1 and K 2 are different from zero.
In both the relative crack flank displacements and the stresses in front of the crack tip, the part x i" is also responsible for a violent oscillation in the stress values for x ! 0 (toward the crack tip). Fortunately, this oscillation can be filtered out in a mode-mixity method, or the oscillations can be neglected, because they are only noticeable very close to the crack tip. By application of the definition of mode-mixity suggested by [14] :
where h is the characteristic length of the bimaterial, which is explained in more detail below, the modified Irwin expression linking K 1 and K 2 to the Griffith-energy:
The stated displacement field stated above in Equation (12) can be specialized, so that mode-mixity and Griffith-energy can be expressed in terms of the relative crack flank displacements.
The characteristic length, h, has the effect that the phase of the mode-mixity is shifted when the length is chosen arbitrarily. Generally, the characteristic length has no physical meaning, but is normally chosen, so that the minimum encountered in the distribution of the fracture toughness is located at É K ¼ 0. In sandwich debonding problems the characteristic length is normally chosen as the face thickness, which will approximately place the minimum of the critical Griffith-energy distribution at É K ¼ 0.
Crack Surface Displacement Extrapolation Method
If the two relations for the mode-mixity and the Griffith-energy, Equations (16) and (17) , are applied these quantities can be found in a finite element solution solely from the relative nodal displacements of the crack flanks. Consequently, both the mode-mixity and the Griffith-energy will be affected by the oscillations, but they will be smaller away from the near crack tip zone and therefore without practical importance. In Figure 6 the Griffith-energy has been plotted for crack flank node pairs with increasing distance from the crack tip. The same graphs can be plotted for the mode-mixity.
In theory both the Griffith-energy and the mode-mixity should be constant in a zone purely dominated by the crack tip displacement field (the K-zone). Unfortunately, this zone is very close to the crack tip and needs a very high mesh density to be picked up in the finite element calculation. Furthermore, this zone is limited by two barriers: an inner barrier where numerical errors from the first elements corrupt the results, because the elements are not able to pick up the correct displacement field close to the crack tip, and an outer barrier where the external displacement field is slowly starting to dominate. In practice it is not possible to use a mesh density high enough to capture this zone, so an alternative method is needed.
The CSD method uses an externally determined Griffith-energy, for example by means of a J-integral calculation, and the mode-mixity is used, from the node pair where the Griffith-energy, calculated by use of Equation (17) , equals the externally determined value. This method does not strictly give a physical meaning and might lead to erroneous results if a node is chosen inside the numerical error zone as indicated in Figure 6 .
Because of the inconsistencies in the CSD method a modified method, the CSDE method, based on the CSD method is presented. Figure 6 . The Griffith-energy plotted for crack flank node pairs with increasing distance from the crack tip. Additionally, the drawback of the CSD method has been indicated.
The CSDE method, which is presented schematically in Figure 7 , uses solely the results from the relative crack flank displacements and needs no externally determined Griffith-energy to determine measurement crack flank locations. It is observed in numerous investigations that the transition from the external displacement field to the internal crack dominated field is more or less linear, until the barrier to the numerical error zone is crossed. By use of this information, the linear transition zone is simply linearly extrapolated into the crack tip. This can be done for both the Griffith-energy and the mode-mixity calculated by relative nodal crack flank displacements, but normally it is sufficient to do this numerical extrapolation on the Griffith-energy and then reuse the linear borders on the mode-mixity curve.
Applied in connection with sandwich problems, where the face-coreinterface is dominated by a high stiffness difference and large distortions of the crack tip elements, the method has proved to be very robust compared to the mode-mixity methods in the literature.
Numerical routines have to be produced to identify the linear transition zone. For example, the routine can step forward and backward up the Griffith-energy curve until the borders of the linear transition zone have been found. The linear extrapolation of the transition area performed in the CSDE method is also seen in Figure 7 .
The CSDE method has up to now been presented in 2D, but as most debond applications demand the estimation of Griffith-energy and modemixity along a debond front in a sandwich panel, a 3-D version of the CSDE method is needed. 
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The accuracy of the CSDE method is, in general, dependent on how far the extrapolation zone is extended from the crack tip. If the CSDE method is to achieve high linearity in the extrapolation, it is necessary that the high mesh density zone in a finite element calculation is located so close to the crack tip that the structural outer displacement field has only a small influence on the Griffith-energy and the mode-mixity, determined from the relative crack flank displacements.
In 2D, the effect on the CPU time consumption of a high mesh density close to the crack is limited. But as the 2-D model is extended into 3-D, the computational cost of the high mesh density is increased considerably. Thus, for practical applications, where computational resources are normally limited, the mesh in a 3-D structure would normally be coarser than can be achieved in 2D, see Figure 8 . The consequence of the coarser mesh is that non-linearity in the extrapolation zone to a certain extent is encountered.
To overcome these non-linear effects, the following actions can be taken:
. The linear extrapolation can be carried out, accepting a certain error on both Griffith-energy and mode-mixity. . The extrapolation procedure can be extended, so that the extrapolation is done by non-linear curve fitting of the zone outside the numerical error zone close to the crack tip. . A path independent J-integral can be used along the crack front to determine the Griffith-energy. The mode-mixity is determined in the same way as in 2D accepting a certain non-linearity in the extrapolation.
The first option is the easiest way of overcoming the problems with nonlinearity, but unfortunately this approach can give erroneous results if the non-linearity in the extrapolation zone is strong. This is most critical for the Griffith-energy, because this parameter directly gives the magnitude of how much the crack tip is loaded. The effect is somewhat less critical for the mode-mixity, because it is only used to compare the Griffith-energy value with the fracture toughness. If the mode-mixity is close to zero, the fracture toughness will only vary little, and the effect of non-linearity in the extrapolation zone will be limited.
Second option can solve these problems, but the procedure demands a considerable implementation effort, and it is doubtful if the procedure is robust enough to be used for practical applications.
The third action demands implementation of a numerical procedure for calculation of a path independent J-integral for each point along the crack front.
This third procedure has been chosen and adopted for the CSDE method as a 3-D variant. However, in order to achieve usable results at a structural level in 3D with acceptable calculation accuracy, certain simplifications have to be made.
First it has been chosen to neglect the mode III deformations and use the 2-D version of the expressions for the Griffith-energy and the mode-mixity as a function of the crack flank displacements, Equations (16) and (17), as well as the 2-D version of the path independent J-integral. This limitation can be justified, because the mode III contribution will be limited in most debond cases compared to the opening mode I part of the Griffith-energy.
Second, as all laminate types considered in this paper are quasi-isotropic naval applications, no further action has been taken to adjust the mechanical properties of the face laminate parallel to the investigated crack plane along the crack front. However, if a more orthotropic face laminate is applied, the face laminate properties have to be adjusted and possibly also compared to separate fracture toughness data for each bimaterial type, depending on the level of orthotrophy.
Both the 2-D J-integral and the 2-D expressions for the Griffith-energy and the mode-mixity have been verified for use in 3D and validated against experimental results in [23] .
NUMERICAL FAILURE MODEL General
In the previous section the tools for predicting the initiation of crack propagation have been presented. In this section these fracture mechanics tools will be implemented in a numerical failure model in the commercial finite element program, ANSYS.
A 2-D crack propagation model has earlier been presented in [24] in order to simulate propagation in a sandwich beam. Parallel to the 2-D model a similar 3-D residual strength model will now be presented.
In order to expand the analysis to cover investigations of 3-D structures like panels and large sections of, for example, a sandwich vessel, several considerations have to be kept in mind. In summary these can be listed as follows:
. The number of elements is raised considerably compared to 2-D structures, resulting in a drastic increase in demanded CPU time for carrying out the analysis. . Not only one position has to be investigated for crack propagation, but the complete crack front also has to be covered by the investigation. . If crack propagation is to be included, the crack front has to be updated between each crack propagation increment, and the complete model has to be remeshed, which will lead to a massive increase in CPU time. . In practice the near tip mesh will be coarser in a 3-D model in order to minimize the global number of elements. This will also, as mentioned above, result in less accuracy in the prediction of the mode-mixity when the CSDE 3-D mode-mixity method is used. . Kinking of the crack front into the core will be very complex, and just an investigation of whether the crack will kink or not will be very CPU expensive.
In order to avoid the worst problems mentioned above, the following choices have been made:
. Only rectangular panels with circular debonds will be investigated. . Only a discrete number of positions along the crack front will be investigated for crack propagation. . Crack propagation will not be simulated, and the panel will be regarded as failed, when the critical conditions for crack propagation are registered along the crack front. . Kinking, both simulation and monitoring, will not be carried out in 3D.
The choice of not to simulate crack propagation in 3D is made, because the type of loading considered in this article is in-plane loading of flat panels. In that case it is expected that the panel, in most cases, will fail due to rapid debond propagation after or in combination with local buckling of the debonded face part.
The panel will thus be regarded as failed when the fracture toughness is reached in any position along the crack front. This assumption is confirmed by experimental investigations presented later in this article.
If needed, consecutive calculations can be made with increasing debond size, thus simulating the crack propagation path independent analogous to the approach presented for the 2-D propagation model. Furthermore, for crack front areas with at the same time high Griffithenergy values and positive mode-mixity, consecutive kinking analysis could be made as the risk of kinking out of the interface in these situations is high.
Simulation Algorithm
Based on the above presented considerations, the 3-D failure model may briefly be described in the following manner:
(1) A displacement controlled geometrical non-linear finite element calculation is performed to introduce imperfections into the model (discussed later). A 1=2-panel model with a circular central debond is seen in Figure 9 . The model consists of a combination of 8-noded linear and 20-noded parabolic elements. The 8-noded linear elements are applied in a small inner zone with a radius of two elements from the crack tip, see Figure 8 (b). These elements are more robust when large distortions are encountered, and the solution in these elements is excluded from the CSDE method as indicated earlier. The rest of the crack tip mesh consists of two zones, which both consist of 20-noded parabolic elements, of which the next zone surrounding the crack tip includes a number of element rings, where the actual Griffithenergy and mode-mixity determination is carried out. The last zone is just used to upscale gradually the mesh density from the structural to the near tip mesh density.
A larger portion of linear elements is used in 3D than in 2D in order to minimize CPU time. Besides the near tip mesh zone of linear elements, some of the outer mesh region is in 3D also linear elements. The distribution is seen in Figure 9 .
During the experimental investigation of residual strength of debonded sandwich panels, presented in [17] , all tested panels had an initial debond opening, which was caused by degassing from the core producing a gas pressure inside the debond. This actually prevents the debond from closing during loading, and this has to be taken into account in the modeling of the panels. For that purpose a Debond Closure Prevention Device (DCPD) has been produced.
It is important that this device is not CPU expensive, but at the same time it has to be efficient. Therefore, a contact element approach is not adaptable, and a combination of tension and compression spar elements has been chosen. A tension or compression spar element only transfers loads in tension or compression respectively. If it is compressed (tension element) or stretched (compression element) the load is zero. The spar element is attached to the outermost top and bottom midpoint node at the panel center and is only able to transfer translations. The connection points will therefore act as charniers.
The tension and compression only elements are then connected in the opposite edge with a DOF constraint tying their respective DOF's to each other. Again these points will act as charniers, but furthermore they are only allowed to move in a vertical direction.
Initially, the tension only element will be prestretched corresponding to the wanted initial debond opening, and during the first load step mentioned above, the debond will be forced to open, and thus act as an imperfection.
In the subsequent load steps the DCPD will prevent the debond opening from becoming smaller than the initial opening and in this way simulate the gas pressure inside the debond. Even if the total panel bends to the same side of the panel as the debond location, the combination of tension and compression only spar elements will prevent the debond from closing, because the stiffness of the elements has been chosen to be several magnitudes higher than the face stiffness.
The DCPD only acts on a single node pair in the center of the debond, so the approach has its limitations, if the t f /D-ratio becomes very small where D is the debond diameter. In this case crack flank contact can occur even though the center of the debond is kept contact-free. Nevertheless, the DCPD proves to work well for all t f /D-ratios encountered in this study.
The debond prevention device is presented schematically in Figure 10 .
COMPARISON WITH EXPERIMENTAL RESULTS

General
Three very typical panel types are considered. In Figure 11 these three panel types are shown.
The three panel types and their corresponding loading profiles are:
. Bottom or deck panel -uniform in-plane compression . Side panel -non-uniform in-plane compression . Bottom panel -lateral pressure
Using these three fundamental panel types as elementary cases, residual strength charts can be generated and implemented into a global ship damage assessment procedure as proposed in [23] , making it possible to determine whether a damage is critical or non-critical for the operational integrity and safety of the vessel. In [17] , experimental results for the non-uniform compression case was presented. In this section the numerical failure model will be compared to the experimental results and residual strength considerations will be carried out for the tested debond range, and thereby generating examples of the above-mentioned residual strength charts.
Similar experimental and numerical investigations have been carried out for the uniform compression and lateral pressure case and can be found in [23] .
The details of the experimental investigation of the non-uniform compression case in terms of description of specimens, materials, test rig, boundary conditions, and load profiles can be found in [17] .
Fracture Toughness Measurements
Fracture toughness distributions as a function of mode-mixity 4 are presented in Figure 12 for the combined CSM and quadro-axial face layup configuration chosen in [17] and Divinycell H80 PVC foam core. Additionally, the fracture toughness distribution is presented in Table 1 as variants of the general expression presented by Hutchinson and Suo [14] . Similar fracture toughness measurements for H130 and H200 cores together with a description of the measurement method can be found in [23] and [25] .
As shown in Figure 12 , the experimentally determined fracture toughness values are to some extent scattered. Therefore, the values have been ordered in a band, with an assumed upper and lower limit distribution, and in between these borders assuming an average distribution, which 4 Carried out by RISØ National Laboratory, Denmark. will predominantly be used in the structural applications and solely in this study.
The mode-mixity range up to approximately 0 , with a large nearly constant fracture toughness level from about À30 up to 0 . Beyond this limit and up into the positive mode-mixity area the crack kinks into the core.
In the fracture toughness measurements the face thickness was several orders of magnitude greater than used in [17] . Because the face consists of both quadro-axial mats with different thicknesses between fracture mechanics and structural specimens and chopped strand mats (CSM) of nearly equal thickness, the , , and parameters for the bimaterial interface will vary slightly, but throughout the implementation of these measurements in structural applications in this study, these small variations will be neglected.
As mentioned earlier, the length scale, h can be chosen arbitrarily, but it is normally chosen as the face thickness, when the mode-mixity is determined Table 1 . Fracture toughness distributions, G w ð Þ. for sandwich interfaces. Changing the length scale from l 1 to l 2 will result in the following phase change in the mode-mixity:
but the length scale may be changed several orders of magnitude without noticeable changes in the mode-mixity, considering the general accuracy in practical applications. As an example it should be noted that by application of the material properties from [17] , the phase change is only about 4 , when the length scale is changed from 3.2 to 10 mm. The fracture toughness will therefore be treated as independent of the length scale in the sandwich structure application presented in this article.
Comparison of Experimental and Numerical Results
In Figures 13 and 14 the results from both the experiments and the theoretical simulation with the 3-D failure model are presented, for each of the debonded H80 panels. Additionally, the results from one H200 case is included in Table 2 .
By comparing experimental and numerical results for the H80 Ø100 mm case in Figures 13 and 14(a) , it can be concluded that the theoretical results overestimate both the buckling and failure load of the panel compared to Figure 13 . Measured experimental and theoretically predicted failure loads for the H80 panels.
the experimental results, but only by about 7-10% for the failure load, when the results from the top and bottom loading profile 5 are averaged due to the fact that only 1=2-models are applied to minimize the CPU-time. This result is highly acceptable for this kind of testing. The buckling force is also visible in the A specimen, whereas it is more difficult to predict in specimen B, because the debond opening takes place more gradually. But in the A specimen the buckling force is quite close to the bifurcation buckling load predicted by the numerical model.
As indicated in [17] the H80 Ø100 mm specimen A did not actually fail by debond propagation, but in local wrinkling introduced face compression. However, as it is observed in Figure 14 (a), debond opening is taking place at the failure load, and it is assumed that the failure just as well could have been debond propagation, as seen in specimen B. By comparison of the H80 intact and Ø100 mm specimens in Figure 13 , it can be concluded that the Ø100 mm debond does not have any negative influence on the panel residual strength, as the Ø100 mm debonded specimens actually fail at higher loads compared to the intact panels. Whether this is just a coincidence or due to a stress redistribution in the debonded panels, because of the presence of a small debond in the center of the panel, is difficult to determine.
In the H80 and H200 Ø200 mm panel cases, the failure load is underpredicted by the theoretical model by 11-15% for the H80 specimens and overpredicted with 13% for the H200 specimen, which is again acceptable for this kind of analysis. With regard to the buckling load, in both H80 specimens the buckling load can be identified quite clearly, 5 Refer to [17] or [23] concerning loading profiles. and the theoretical model gives a very good estimate for the B specimen, whereas the A specimen lies somewhat higher than the theoretical predictions. However, in both cases the buckling mode is predicted correctly by the models. For the H200 specimen, the buckling load is difficult to identify, because the buckling takes place gradually as in the H80 Ø100 mm specimen B.
Different initial debond openings are tested, but it proves to have no influence on the failure load. However, the buckling load is slightly affected, but only with respect to the load at which the global buckling path is followed, as is seen in Figure 14 . Figures 13 and 14(c) show the results from the H80 Ø300 mm case. In the experiments, two different buckling modes are observed. In the A specimen single wave buckling is observed, whereas a dual wave mode is observed in the B specimen. This is also observed in Figure 14(c) , because the out-ofplane displacement measurement is taken from the center of the debond, refer to [17] . In the theoretical modeling only a single wave buckling mode is predicted, and through linear eigenvalue buckling analysis, it is determined that the dual buckling mode lies at a considerably higher load. Furthermore, a very small initial debond opening, 0:05t f , is used to test whether it is possible to force the debond buckling mode into a dual wave path, but this did not prove to be successful.
When the numerical and experimental buckling loads are compared for the B specimen, the experimental buckling load is about two times the predicted load. But if the post-buckling responses are compared, it seems that the model is able to predict the same debond response behavior. In other words, the buckling response is just shifted according to initiation of buckling. Furthermore, it is believed that the buckling load is very much dominated by the tip geometry, and how the crack front has been shaped during production of the artificial debond. This is relevant for both the A and B specimen. However, during testing of the B specimen it was clearly seen that the debond only opened at a considerably smaller area compared to the full pre-produced debonded area. This observation can explain the high buckling load measured in the test. It seems likely that this imperfection has a great influence on the results, and that the failure load is underpredicted by 40-42% by the numerical model.
Debond Crack Front Loading
In Figure 15 the propagation initiation index, 6 Å, defined as
is shown in a polar diagram for the H80 Ø200 mm case. The propagation index is normalized so that it will be equal to unity if the Griffith-energy in a certain crack front position is equal to the fracture toughness for the present mode-mixity. In the close-up diagram it is seen that the Å-index distribution along the complete crack front (360 ) goes from a completely circular distribution to a binocular-shaped profile. However, the profile is oriented to the side of the highest in-plane loading and results in the largest opening of the debond, which is in good agreement with the experimental observations. Furthermore, it is observed in Figure 15 (a) that the tip loading in the areas close to AE90 is decreasing, which indicates that the crack tip in these positions is closing during the loading history compared to the initial debond opening caused by the degassing from the core, refer to [17] .
Both the unsymmetrical binocular-shaped profile tendency and the decreasing crack tip loading in the areas close to AE90 are the most dominant for the larger debonds, as the Ø200 mm and Ø300 mm cases, see Figure 16 , where the Å-index is plotted for all three debond sizes. It is seen that the skewness (asymmetry) increases with increasing debond size. For the small debonds like the Ø100, the debond experiences something close to a uniform loading, referring to similar analysis in [23] for uniform compression loading.
Residual Strength
In Figure 17 the average residual strength factor has been plotted for varying debond sizes, based on the results from the experimental and numerical investigations. For each debond diameter the results from the two identical specimens are averaged. Additionally, for the experimental results the variations from the average value at each debond size are indicated. The residual strength factors are made non-dimensional by the failure load obtained from the numerical modeling of the wrinkling introduced compressive failure of the intact panels, see [17] .
It can first of all be concluded that both experimental and numerical investigations show that small debonds below at least Ø100 mm are not critical to this panel case, as the residual strength factors are above 1 for the numerical results and very close to 1 for the experimental results. However, as mentioned earlier, the failure of the two Ø100 mm panels proved that the failures caused by wrinkling introduced compression and debond propagation were quite close, as the two panels failed in the two failure mechanisms. Both experimental and numerical results also show considerable strength reduction for larger debonds with average residual strength factors around 32-55%. For debond diameters from approximately Ø150 mm and up the numerical model yields increasingly conservative results compared to the experimental values. The increasing conservatism may be explained by problems in the numerical model for predicting the correct buckling mode under influence of production introduced imperfections, as discussed in the previous section. However, for engineering purposes, the conservative results are applicable.
Finally, it must be concluded from Figure 17 that the largest variations from the average residual strength values and between the experimental and theoretical results are seen for the intact panels. This emphasizes the need for performing better experimental predictions of the intact panel strength, but also that imperfections may have a considerable influence on the residual strength factors, especially when the failure mechanism is highly imperfection sensitive, as experienced in the present investigation where wrinkling introduced compression failure was observed. Residual strength factors should therefore be used with great care, especially for practical structures where imperfections are typically bigger compared to laboratory test specimens. However, it should also be noted that in practical design, these variations in the intact panel failure loads are to some degree taken into consideration through safety factors used in the determination of the maximum allowable loading of the structure. Likewise, safety factors should be applied to, for example, fracture toughness distributions, which also exhibit some variations as described earlier in this article, to obtain residual strength factors based on failure loads for both intact and damaged panels where a certain level of safety is included.
CONCLUSION
A new two-and three-dimensional mode-mixity method (the Crack Surface Displacement Extrapolation method) was presented in this article, which is robust and reliable when applied to interfaces with a high stiffness ratio, which is the case for most foam core sandwich structures.
On the basis of the new fracture mechanical mode-mixity method, a threedimensional numerical model able to predict the ultimate failure load of a sandwich panel with a circular debond was presented. The model, which is able to simulate geometrical non-linearity is based on the finite element method using the commercial finite element program 'ANSYS'.
In order to validate the model and to compare with experimental results presented in [17] , the numerical model was applied on non-uniform in-plane compression loaded panels with central circular debonds. It was common to all tested panels that the in-plane loading of the panel resulted in outward buckling of the debonded face in a local buckling mode. This failure behavior was seen both in experimental and numerical investigations. The outward buckling happened in all cases gradually, making a combined post-buckling and fracture mechanical analysis as presented in this article mandatory. Furthermore, in almost all cases the local buckling ended with a very rapid propagation of the debond front to the edge of the panel.
With regard to residual strength, it is first of all seen that both experimental and numerical investigations show that small debonds below at least Ø100 mm are not critical. However, both experimental and numerical results show considerable strength reduction with average residual strength factors around 32-55% for debond diameters larger than Ø200 mm. For debond diameters from approximately Ø150 mm and more, the numerical model yields increasingly conservative results compared to the experimental values. However, for practical engineering purposes, the results are acceptable.
As mentioned in the introduction, the main objective of the work described in this article was to present a theoretical method for prediction of residual strength factors. Therefore, the residual strength factors dealt with in this study are only examples of debond cases and only a limited interval of governing parameters have been investigated. In order to get a more complete overview of the residual strength factors for all elementary panel cases presented in Figure 11 , a wider parameter study has to be carried out using the numerical model presented in this article, backed by more experimental testing.
However, the theoretical methodologies presented in this article serve together with the numerical calculations also presented in this article and the full-scale tests from [17] as input to new production control and in-service inspection/repair manuals developed for the Nordic/Anglo navies in the joint defense-funded research project THALES JP3.23 Inspection and Repair of Sandwich Structures in Naval Ships (SaNDI).
